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a b s t r a c t
Low-carbon micro-alloyed steel containing coarse MnS inclusions was subjected to different thermo-
mechanical processing routes to evaluate the effect of microstructure on its Charpy impact properties
over a range of temperatures. MnS inclusions were found to deteriorate the upper shelf energy (USE) of
the steel but its effect on the impact transition temperature was not as detrimental as that due to the
presence of TiN particles. MnS inclusions were responsible for the initiation of micro-voids; however, the
propagation of the cracks from these depends on the effective grain size and the strength of the matrix.
An increase in the density of dislocations and low-angle boundaries enhances the strength and the
strain-hardening ability of the ferrite matrix. This helps in retarding the growth of micro-voids, thereby
reducing USE and promoting cleavage crack propagation resulting in an increase in its impact transition
temperature. Refinement of effective grain size, on the other hand, increases the crack propagation
resistance and therefore, improves the low-temperature toughness of the steel. Finish rolling of the steel
just above the Ar3 temperature (austenite to ferrite transformation start temperature) or a simple
normalizing treatment of the as-rolled plates at a low austenitization temperature is recommended from
the point of view of higher impact toughness and lower impact transition temperature.
& 2014 Elsevier B.V. All rights reserved.
1. Introduction
Excellent combination of high strength and high impact tough-
ness is an essential requirement for thick steel plates used for the
fabrication or construction of pressure vessels, ship hulls, line-
pipes and various other strategic defense applications. Precipita-
tion strengthening due to the presence of a fine dispersion of
micro-alloying elements can increase the strength, but it adversely
affects the impact toughness of the steel unless there is an
accompanying refinement of its microstructure [1,2]. Thermo-
mechanical controlled rolling provides significant grain refine-
ment in high-strength low-alloy steels (HSLA). This helps improve
the strength and toughness simultaneously [3–6].
The presence of hard and brittle particles in steel, such as TiN,
can act as the potential sites for the initiation of cleavage and thus
adversely affecting the impact toughness of steel [2,7–11]. A
combination of large ferrite grain size and coarse TiN particles
can seriously hamper the toughness of steel [2,11]. In a recent
study, a few of the present authors have investigated the effect of
processing and microstructural parameters on the impact tough-
ness of Ti containing microalloyed steel (0.06 wt% C, 0.05 wt% Ti)
[11]. The relative effects of ferrite grain size and TiN particle size
in controlling the cleavage fracture have been discussed [11]. A
refinement in ferrite grain size below a critical size is necessary to
counteract the detrimental effect of the presence of coarse TiN
particles on impact toughness at sub-zero temperatures [11].
MnS is a common type of inclusion that forms during the
solidification of liquid steel [12–15]. Subsequent hot-rolling of the
cast slab elongates MnS inclusions along the rolling direction in
the form of stringers [12–16]. It has been reported that the
presence of large MnS inclusions at high volume fraction deterio-
rates the impact toughness of steel [12–18]. The size and the
volume fraction of MnS can be reduced by lowering the amounts of
Mn and S in the hot metal [1]. However, desulfurization treatment
delays the production process significantly. This adds to the
production cost, and hence, it is beyond the scope of small scale
steel producers and steel foundries [14]. In spite of having low Mn
and S levels, it may also be difficult to avoid the formation of coarse
MnS inclusions due to the occurrence of segregation during
casting. In addition low Mn means lower solid solution strength-
ening [15], which has to be compensated by the addition of other
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alloying elements, such as, Ti and Cr into the steel. TiS and Ti4C2S2
(titanium carbo-sulfide) inclusions are harder, less deformable and
are more resistant to void nucleation than MnS [14,19]. However, Ti
addition in steel increases the risk of TiN formation, which can
cause premature brittle fracture [1,2,7–11]. On the other hand, CrS
is more prone to void nucleation than MnS and hence, cannot be
beneficial from the point of view of impact toughness [20].
Therefore, in spite of the presence of MnS inclusions the
processing and microstructural parameters need to be adjusted
carefully so that the impact toughness of the steel can be increased
and impact transition temperature can be lowered. That sets the
objective of the present study.
2. Experimental details
A 40 kg melt was prepared in an air-induction furnace. The
composition of the heat is given in Table 1.
The cast ingot (100 mm thick) was soaked at 1200 1C for half an
hour and rolled in a laboratory rolling mill down to 15 mm
thickness plates, following three different rolling schedules with
finish rolling temperatures (FRT) of 820 1C (Sample code: FRT820),
730 1C (Sample code: FRT730) and 650 1C (Sample code: FRT650).
The total rolling reduction remained constant (85%) in all the
rolled plates. Samples taken from FRT730 plate were subjected to
two different normalizing heat treatments using austenitization
temperatures of 1150 1C (HT1150) and 940 1C (HT940) for 60 min
and 5 min soaking time, respectively, before air cooling.
The cross-sections of the rolled and normalized samples were
polished down to a 0.25 mm Al2O3 finish (aqueous solution) and
etched in 2% nital. Microstructures and inclusions were studied by
a Leica DM600M model optical microscope (fitted with Leica M.W.
and Leica L.A.S. image analysis software) and a Zeiss EVO 60 model
scanning electron microscope (SEM). The ferrite grain size was
measured in terms of equivalent circle diameter (ECD) [22] based
on the determination of grain area (image analysis) of more than
500 grains from each sample. The length of the elongated MnS
inclusions was measured. It has been considered as the measure of
its dimension or size. Electron backscattered diffraction analysis,
EBSD, was carried out using an HKL Channel 5 system from Oxford
Instruments, UK, attached to a Zeisss EVO 60 SEM operated at a
step-size of 0.3 mm to characterize the orientations of the ferrite
Table 1
Chemical composition of the investigated steel (wt%).
C Si Mn S P Nb V N
0.08 0.30 1.20 0.03 0.02 0.05 0.08 0.007
Fig. 1. SEM micrographs of the investigated samples: (a) FRT820, (b) FRT730, (c) FRT650, (d) HT940 and (e) HT1150. Rolling direction (RD) is indicated in all the images.
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grains. Thin foils were prepared from the quarter-thickness
locations of the rolled plates and were examined under a JEOL
ZEM-2100 transmission electron microscope (TEM) to study the
dislocation structure.
Tensile specimens were prepared from the samples developed
by different processing conditions following ASTM E-8 standard
[23] and tested with a cross-head velocity of 0.5 mm/min using an
Instrons 8862 servo-electric test system (10 t) at room tempera-
ture (25 1C). An extensometer of 25 mm gage length was used for
the accurate measurement of strain. Standard Charpy V-notch
specimens were fabricated from the investigated steels and tested
on an Instrons 400J impact machine (Model SI-1C3) attached with
an Instron Dynatup Impulse data acquisition system, following
ASTM E-23 standard [24], at various temperatures in the range
from 196 1C to þ60 1C. The sample temperature was maintained
within 72 1C using a medium of methanol and liquid nitrogen.
A detailed fractographic study was carried out on the broken
Charpy impact specimens. Macro-hardness was measured at 20 kg
load using a LV-700 model LECOs Vickers tester and the average of
five readings is considered to be a measure of its hardness. Nano-
indentation studies have also been carried out using a Hysitrons
TI050 Tribo Indenter at 2 mN load and 2 s dwell time. Nano-
indentation readings were carefully taken from the center of the
ferrite grains away from the grain boundaries.
3. Results and discussion
3.1. Characterization of microstructure and inclusions
Scanning electron micrographs of the investigated samples
show the presence of ferrite and pearlite (Fig. 1) with the pearlite
fractions varying within a close range of values (14–16%) (Table 2).
The Ar3 and Ar1 temperatures predicted from the JMatPros soft-
ware for the investigated steel are 784 1C and 690 1C, respectively.
The finish rolling temperatures (FRT) of FRT820, FRT730 and
FRT650 samples, therefore, are within the austenite single-phase
region, austenite–ferrite inter-critical region and ferrite–pearlite
region, respectively. The true strain applied below Ar3 temperature
was 0.43 for FRT730 and 0.93 for FRT650 samples. Finish rolling
above Ar3 produced strain-free equiaxed ferrite grains in FRT820
sample (Fig. 1a) whilst, finish rolling below Ar3 resulted in the
formation of deformed ferrite grains in FRT730 and FRT650
samples (Fig. 1b and c). Pearlite colonies were also deformed and
fragmented in FRT650 sample as the FRT was even below Ar1
(Fig. 1c). The data given in Table 2 shows that the average ferrite
grain size, as measured from the SEM micrographs, decreases with
decreasing FRT. Strain-free and equiaxed ferrite grains formed
even after the normalizing treatment, with the average ferrite
grain size increased significantly with the increase in normalizing
temperature (Table 2).
The EBSD band contrast images of the investigated samples are
presented in Fig. 2. The thin lines in Fig. 2 represent the low-angle
boundaries (2–151 misorientation angle) and the thick lines
represent the high-angle boundaries (4151 misorientation angle).
The cumulative distribution of the grain boundary misorientaion
angles in Fig. 3 shows that the fraction of low-angle boundaries
increases with decreasing FRT (Table 2). Due to its high stacking
fault energy deformed ferrite grains were in the recovered state,
thereby increasing the density and fraction of low-angle ‘sub-
boundaries’ in FRT730 and FR650 samples (Fig. 2b and c). In
Table 2
Microstuctural parameters, low-angle boundary fractions and the effective grain
size of the investigated samples.
Sample
code
Pearlite
fraction (%)
Average ferrite grain
size, ECD (mm)
LAB
fraction
(%)
Effective grain
size (mm)
FRT820 14.3 9.673.3 11.9 12.4
FRT730 15.7 8.273.0 55.9 19.5
FRT650 16.6 5.972.6 65.6 26.2
FRT940 15.8 9.773.6 6.3 10.5
HT1150 14.1 40.777.9 2 41.1
Fig. 2. Band contrast images of the investigated samples as obtained from the EBSD analysis: (a) FRT820, (b) FRT730, (c) FRT650, and (d) HT940.
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comparison to the as-rolled samples, the low-angle boundary
fraction in normalized samples appears to be significantly lower
and it is found to decrease as normalizing temperature increases
(Fig. 2d and Table 2). The low-angle boundaries are known to be
not as effective as the high-angle boundaries in retarding the
cleavage crack propagation [25–27]. The ‘effective grain size’
measured from the EBSD analysis considering only the high-
angle boundaries (using 151 as the misorientation threshold) is
listed in Table 2. It is found to be the lowest for HT940 and the
highest for HT1150 (Table 2).
Transmission electron micrographs of a set of samples that
have gone through different processing routes are shown in
Fig. 4a–d. The ferrite matrix in FRT820 sample was relatively
strain-free having low dislocation density (Fig. 4a) whilst, disloca-
tion cells and substructures were present in the ferrite matrix in
FRT730 and FRT650 samples (Fig. 4b and c). The order of
magnitude of dislocation density was found to be much higher
in FRT650 (1014/m2) and FRT730 (1013/m2) samples, than that
in FRT820 sample (109/m2). Normalizing treatment was found to
have significantly reduced the dislocation density down to 108
to 109/m2 (Fig. 4d). The dislocation density has also been esti-
mated using a different approach based on the EBSD analysis. The
detailed methodology for measurement of dislocation density
from EBSD analysis has been explained in a very recent work by
Iza-Mendia et al. [28]. The estimated value of dislocation density
from EBSD analysis matches well (710% deviation) with the
dislocation density measured from TEM analysis.
Fig. 3. Cumulative misorientation angle distribution of the investigated samples as
obtained from the EBSD analysis.
Fig. 4. Transmission electron micrographs of (a) FRT820, (b) FRT730, (c) FRT650 and (d) HT940 samples; (e) bright field and dark field TEM images of (Nb,V)(C, N) precipitate
with the corresponding EDS analysis and (f) distribution of fine V(C,N) precipitates (arrowed) in the ferrite matrix with the corresponding SADP analysis.
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The presence of fine Nb(C,N), V(C,N) and complex (Nb,V)(C,N)
precipitates (10–100 nm) were also confirmed by Energy Dis-
persive Spectroscopy (EDS) (Fig. 4e), and Selected Area Diffrac-
tion Pattern analysis (SADP) (Fig. 4f) in all the samples. The
morphology and distribution of the microalloy precipitate have
been found to be similar in all the investigated samples.
Both Al2O3 and MnS inclusions were found to be present in all
the samples, bulk of these were found to be made of MnS (95% of
all inclusions). MnS inclusions were elongated along the rolling
direction in the form of stringers and the particle/matrix interface
was often found to have separated (Fig. 5), possibly due to its low
interfacial strength [29,30]. The volume fraction, size, aspect ratio
and the inter-particle spacing of the inclusions in the as-rolled
samples are listed in Table 3. At lower FRT, the inclusions were
found to have fragmented into smaller particles (Fig. 5c), which
reduce their average size and inter-particle spacing (Table 3).
Normalizing treatment of the rolled steel did not alter the shape,
size and distribution of the MnS inclusions. Manshadi and Dippe-
naar [14] studied the effect of deformation temperature on the
deformation behavior of MnS in steel. Both recovery and recrys-
tallization of austenite are ineffective at lower deformation tem-
peratures. The rapid strain hardening of the matrix increases the
difference between the hardness of the matrix and the inclusions.
Therefore strain partitioning occurs from the harder matrix towards
the softer inclusions [14] which leads to the separation of interface
between the matrix and the inclusion. Decrease in the rolling
temperature may also reduce the deformability of the inclusions;
therefore it gets fragmented into smaller particles. Following
Thermo-Calcs software, MnS is predicted to have formed immedi-
ately after solidification (at 1468 1C) accompanying the formation
of austenite. After subsequent austenite to ferrite transformation
the inclusions, which appeared at the prior-austenite grain bound-
aries, were found to be present within the ferrite grains [21].
3.2. Hardness and tensile testing of the investigated samples
FRT650 has the highest macro-hardness and nano-indentation
readings amongst all the investigated samples, followed by FRT730
sample (Table 4). Normalized samples showed lower hardness
values than those of the as-rolled samples (Table 4). The presence
of dislocation sub-structure with high dislocation density must
have contributed to the high hardness in FRT730 and FRT650
samples. Macro-hardness indents covered several ferrite grains in
each sample and hence, it represented the bulk hardness of the
samples, whilst, the hardness measured by nano-indentation
represents the hardness of a specific ferrite grain excluding the
contribution from the ferrite grain boundaries. The tensile stress–
strain curves of the samples are given in Fig. 6 and the tensile
properties are listed in Table 4. In the investigated samples yield
point phenomena have been observed and the lower yield point
has been considered as the yield stress of the sample. Strength of
the as-rolled samples increased with decreasing FRT. It has a direct
correlation with the increase in applied strain below Ar3 tempera-
ture. The increase in strength is however, accompanied by a
Table 3
Characterization of MnS inclusions in the as-rolled samples.
Sample code Volume fraction (%) Length (mm) Thickness (mm) Aspect ratio Inter-particle spacing (mm)
FRT820 0.09 17.972.4 1.870.1 9.972.3 50.273.8
FRT730 13.772.1 1.970.1 7.272.2 50.474.6
FRT650 10.671.6 1.770.2 6.271.3 39.972.4
Fig. 5. (a and b) MnS inclusions elongated along the rolling direction (RD) in the ferrite matrix and (c) an example of a fragmented MnS inclusion. Arrows indicate
decohesion of MnS inclusions from the ferrite matrix.
A. Ghosh et al. / Materials Science & Engineering A 613 (2014) 37–47 41
corresponding decrease in uniform elongation and its strain-
hardening exponent (n) (Table 4). High dislocation density and
restricted dislocation activity resulted in high strength, but poor
uniform elongation and low strain-hardening exponent in FRT730
and FRT650 samples (Table 4). On the other hand, highest strain-
hardening exponent and uniform elongation in HT1150 sample
(Table 4) can be attributed to the presence of strain-free ferrite
matrix with coarse ferrite grain size. The tensile toughness,
measured form the area under the stress–strain curve, was high
in FRT820 and FRT940 samples, whilst, FRT730 samples showed
the worst value (Table 4). Hence, considering the combination of
strength, ductility, strain-hardening exponent and tensile tough-
ness, FRT820 and HT940 samples were found to be superior in
comparison to all other samples (Table 4).
3.3. Charpy impact testing to determine the impact transition curves
The Charpy impact transition curves (Fig. 7) were drawn within
the scattered data points of Charpy impact energy vs. temperature
plot by fitting a ‘tanh’ function, following the procedure given in
[31]. The upper shelf energy (USE) and the ductile to brittle
transition temperature (DBTT) were determined from the impact
transition curves. These are listed in Table 5. The DBTT has been
considered as the temperature halfway between the upper shelf
energy and the lower shelf energy. The general yield load (PGY) and
the maximum load (Pmax) were determined from the load vs. time
traces obtained from the instrumented impact data following the
established method given in [32]. Considering the variation in PGY
and Pmax with respect to the test temperature, the cleavage
fracture stress (σf) and the general yield temperature (TGY) have
been determined using the steps given in [32] (Table 5). TGY is
regarded as the impact transition temperature, where cleavage
fracture coincides with the general yielding.
The range of USE of the investigated samples (35–60 J) is lower
than the USE values commonly reported in literature (4150 J) for
low-carbon micro-alloyed steels containing lower sulfur levels
(o0.01 wt% S) than the present steel [12,26,33–35]. This indicates
to the harmful effect of MnS inclusions on the USE of the steel.
Due to the low interfacial strength, MnS inclusions get easily
de-bonded from the ferrite matrix, developing large elongated
voids (Fig. 8a). Fig. 8b and c shows the nucleation of voids from
MnS and MnS–Al2O3 complex inclusions, on a transverse plane
perpendicular to the fracture surface of a broken Charpy impact
specimen. Coalescence of the adjacent voids can lead to the
formation of small micro-cracks (Fig. 8b), which may subsequently
propagate to cause complete failure. Amongst the three different
stages involved in ductile fracture, i.e. void nucleation, void growth
and void coalescence, the growth stage consumes the maximum
deformation energy. Therefore, USE increases as long as void
growth takes place. When the void growth ceases, void coales-
cence begins, plastic instability sets in the ligament between the
two adjacent voids, leading to the ligament necking [12,36].
McClintock [36,37] suggested that such plastic instabilities
develop in the form of localized shear bands and the condition
behind the formation of shear bands can be expressed by the
Table 5
Charpy impact toughness parameters for the investigated samples measured from
instrumented impact test.
Sample
name
USE
(J)
DBTT
(1C)
TGY
(1C)
Cleavage
fracture
stress
(MPa) (σf)
Crack
initiation
energy (J)
Crack
propagation
energy (J)
Facet size
(mm)
FRT820 51.6 84.3 96 1394 13.4 36 10.371.1
FRT730 37.5 76.5 62 1525 5.6 32 18.272.1
FRT650 35.4 57.4 44 1447 6.6 26 21.073.4
HT940 60.0 56.9 86 1459 19.2 37 9.270.8
HT1150 56.0 9.3 10 914 34.9 21 40.073.8
Fig. 6. Engineering stress–strain curves obtained from the tension tests on the
investigated samples.
Fig. 7. Impact transition curves obtained from the Charpy impact test on the
investigated samples.
Table 4
Hardness and tensile properties of the investigated samples.
Sample Macro-hardness
(VHN)
Nanohardness
(GPa)
Yields stress
(MPa)
UTS (MPa) Uniform
elongation (%)
Area under the
curve (J/m3)103
n
FRT820 160 3.8 409 476 12.1 97.4 0.15
FRT730 188 4.7 509 572 8.4 78.6 0.11
FRT650 203 5.5 533 573 8.0 84.1 0.10
HT940 151 3.7 409 506 14.0 97.7 0.17
HT1150 132 3.6 258 415 17.5 85.9 0.20
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Fig. 9. (a) Variation of strain hardening rate with the true strain as obtained from the tensile test of the investigated samples; (b) variation of crack initiation energy with the
low-angle boundary fraction and (c) the variation of crack propagation energy with the effective grain size of the investigated samples as obtained from the instrumented
impact testing.
Fig. 8. (a) Presence of MnS inclusions (arrowed) inside the voids on the fracture surface of the Charpy impact tested sample tested at room temperature; SEM images on the
transverse section just below the fracture surface of impact tested specimens showing the formation of cracks and voids from (b) the MnS inclusions and (c) MnS–Al2O3
complex inclusion.
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following equation [36,37]:
1
σ
dσ
dε
 
oKF2 vf
1vf
  ffiffiffiffiffiffiffiffiffiffiffiffi
λ2þ1
q
ð1Þ
where σ is the flow stress in terms of true stress, ðdσ=dεÞ is the
strain-hardening rate, vf is the volume fraction, λ is the aspect
ratio of the inclusions, K is a constant and F is the hole-growth
factor. Eq. (1) indicates that the extent of void growth and hence,
the impact energy absorption capacity of the steel not only
depends on the inclusions parameters (i.e. volume fraction and
the aspect ratio of MnS inclusions) but also on the strength and
the strain-hardening ability of the ferrite matrix. Lower initial
yield strength and higher strain hardening ability resist strain
localization by the shear band formation. This promotes void
growth and therefore, increases the capacity to absorb energy.
The strain hardening rate ðdσ=dεÞ derived from the tensile curves
of the investigated samples is presented in Fig. 9a. Lower initial
yield strength and higher strain-hardening rate, possibly contri-
butes to higher USE in the normalized samples (HT940 and
HT1150), as compared to those of as-rolled samples (Fig. 9a). On
the other hand, high matrix strength and low strain-hardening
rate result in low USE in FRT730 and FRT650 samples (35–37 J),
whilst, FRT820 sample exhibits an intermediate value of USE (52 J)
(Fig. 9a, Tables 4 and 5). The present results are in line with an
earlier study [38], where USE of the steel rolled in the single-phase
region above Ar3 was found to be higher than that of the steel
rolled below Ar3, i.e. within the two-phase region. High density of
dislocations generated within the polygonal ferrite as a result of
inter-critical deformation reduces the energy absorption capacity
of ferrite [37].
Using the load-time data obtained from instrumented impact
testing, the absorbed impact energy can be divided into two
different components: (i) crack initiation energy is the energy
absorbed till the maximum load is reached, and (ii) crack propaga-
tion energy is the energy absorbed beyond the maximum load till
complete fracture [12]. In the present study, the crack initiation
energy was found to have decreased with the increase in low-
angle boundary fraction of the investigated samples (Fig. 9b). Low-
angle boundaries increase the strength of the ferrite matrix
[28,39], which hampers the extent of void growth and reduces
the energy needed for crack initiation. A direct correlation
between void growth and crack initiation energy was reported
in an earlier study [40]. An effort has also been made to under-
stand the effect of ferrite grain size on the energy needed for crack
propagation. Average grain size appears to have little effect on the
crack propagation energy, but Fig. 9c shows that the energy
Fig. 10. SEM fractographs of the (a) FRT820, (b) FRT730, (c) FRT650, and (d) HT940 samples Charpy impact tested at 100 1C showing the cleavage facets; (e) presence of the
secondary cleavage cracks just below the fracture surface in an impact tested FRT820 sample.
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decreases with increasing effective grain size. Finer effective grain
size, not only retards cleavage crack propagation at the lower shelf
region, but also, resists ductile crack propagation at the upper
shelf region.
The general yield load at certain temperature represents the
load at which yielding occurs throughout the ligament of the
sample. In the present study instrumented Charpy impact testing
has been carried out over a range of temperature starting from
room temperature (or above) down to 196 1C. With the decrease
in the testing temperature the yield strength of the material
increases which is expected to reduce the plastic zone size
significantly. Therefore, below a certain temperature the yield
stress of the material becomes so high that yielding throughout
the ligament is not possible and the cleavage fracture occurs
without the general yielding. Hence, from macro-scale fracture
mechanics perspective the general yield temperature can be
regarded as the impact transition temperature.
Amongst the investigated samples, FRT820 showed the lowest
DBTT and HT1150 showed the highest DBTT (Fig. 7 and Table 5).
The DBTT of FRT730 sample was also sufficiently low whereas
those of FRT650 and HT940 samples were in the intermediate
range (Table 5). The general yield temperature (TGY) calculated
from the load-time plot was much lower in HT940 sample. This
indicates that the impact transition behavior of HT940 sample is
superior to that of FRT650 sample. FRT820 showed the lowest TGY
and HT1150 sample showed the highest TGY amongst all the
samples (Table 5).
The range of DBTT of the present steel (þ9 1C to 84 1C) was
much lower than the range of values reported by Ghosh et al. in a
recent study on low-carbon Ti-microalloyed steel (þ30 1C to
33 1C) [11]. MnS inclusions are therefore, not as harmful as the
TiN particles in terms of the impact transition temperature of low-
carbon steels. The SEM fractographs of the impact tested samples
(tested at 100 1C) in Fig. 10a–d show the presence of cleavage
facets that follow the shape of the ferrite grains. The cleavage
facets are elongated along the rolling direction in FRT730 and
FRT650 samples, whilst, these are more equiaxed in FRT820 and
HT940 samples (Fig. 10a–d). Sub-surface cracks are also preferen-
tially oriented along the rolling direction in FRT730 and FRT650
samples, while, these are randomly oriented in FRT820 and HT940
samples (Fig. 10a–d). The average cleavage facet size measured
from the fracture surfaces is the highest in HT1150 sample and
the lowest in HT940 sample (Table 5). The facet sizes could not be
correlated with the average ferrite grain size; however, the average
facet size was found to be nearly the same as the effective ferrite
grain size in all cases (Tables 2 and 5). This confirms the
effectiveness of high-angle boundaries in resisting cleavage crack
propagation as indicated by the earlier studies [25–27,34,41,42].
The presence of the secondary cleavage cracks covering the ferrite
grains and the deflection or the complete stoppage of the cracks at
the ferrite grain boundaries in FRT820 sample (Fig. 10e) indicates
to the beneficial effect of small ferrite grain size and high-angle
boundaries in lowering the impact transition temperature. The
above statement can be further supported by the increase in TGY
temperature with the increase in effective grain size as presented
in Fig. 11a.
An effort has been made to predict the general yield temperature
from Harding's equation [43,44], which considers the dynamic yield
stress (σyd) to be a function of test temperature (T 1C) and ferrite
grain size (D)
σyd ¼ 3502:5TþkyD1=2 ð2Þ
where the coefficient of grain boundary strengthening ky¼21
MPa mm1/2 [45]. Apart from grain boundary strengthening ðσgb ¼
kyD
1=2Þ the contribution from other strengthening mechanisms,
such as, precipitation strengthening (σp), dislocation strengthening
(σd), and sub-grain strengthening (σsg) has not been considered in
Harding's equation. The contribution of these to the dynamic yield
strength might be described by the following equations [1,45,46]:
σp ¼
0:3Gbv1=2f
x
lnðx=2bÞ ð3Þ
where vf is the precipitate volume fraction, x is the average
precipitate size and b is the Burger vector (0.248 nm).
σd ¼ αGbρ1=2 ð4Þ
where ρ is the dislocation density, G is the shear modulus (81 GPa)
and α is a constant (0.5).
σsg ¼ kslm ð5Þ
where l is the average sub-grain size measured in terms of the
intercept length, m is a constant (0.5), and the coefficient of sub-
grain boundary strengthening, ks  2:1
ffiffiffi
θ
p
, where θ is the average
misorientation angle of the sub-grain boundaries.
At TGY, σyd in Eq. (2) can be replaced by the cleavage fracture
stress, σf, divided by the plastic constraint factor, Kpcf. Kpcf of the
investigated samples has been calculated considering the crystal-
lographic texture of the sample following the procedure reported
in a recent study [47]. Using the calculated values of σf, TGY can be
predicted by the following equation:
TGY ¼
1
2:5
350 σf
Kpcf
þkyD1=2þσpþσdþσsg
 
ð6Þ
The dislocation density, average size and fraction of the micro-
alloy precipitates were determined from the TEM study and the
Fig. 11. (a) Variation of general yield temperature (TGY) as the function of effective
grain size and (b) prediction of general yield temperature for the investigated
samples considering the average grain size (Davg) and effective grain size (Deff).
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average sub-grain size and average misorientation angle across the
low-angle sub-boundaries (misorientations between 21 and 151)
were obtained from the EBSD analysis.
The above micro-structural parameters have been used to
estimate the contributions due to various strengthening mechan-
isms of interest for all the samples. These are listed in Table 6. The
dynamic yield stress values measured at TGY temperature is also
included in Table 6. The prediction of TGY following this approach
has improved significantly when effective grain size is considered
in the calculation in the place of the average ferrite grain size
(Fig. 11b). A certain level of deviation is obvious; however, the
trend in the variation in impact transition temperature is predicted
reasonably well (Table 6 and Fig. 11b). The present calculation
indicates that besides the effective grain size, it is also influenced
by the strength of the ferrite matrix. High dislocation and sub-grain
strengthening significantly increase the matrix strength of FRT730
and FRT650 samples. This results in higher impact transition
temperatures (Table 6). However, HT1150 sample shows very high
impact transition temperature, although its matrix strength is low.
This is because of its high effective grain size.
Although, the initiation of cleavage fracture is known to depend
on several factors, such as, the size of the non-metallic inclusions
(i.e. TiN), volume fraction of pearlite colonies, interaction between
the twins and the grain boundary carbide thickness [11,43,48], in
blunt notch Charpy impact testing, cleavage fracture was reported
to be controlled by the crack propagation across the ferrite grain
boundary [49]. Hence, the TGY temperature primarily depends on
the ferrite grain structure and the matrix strength. DBTT, on the
other hand, depends not only on the ability of the steel to resist
cleavage fracture, but also on the magnitude of upper shelf energy
[39]. The presence of MnS inclusions can influence USE either by
initiation of micro-voids or by de-laminations along the fracture
surface [50,51]. Future studies need to investigate these aspects
separately in order to establish a quantitative relationship
between the MnS inclusions and the USE and DBTT of the steel.
4. Conclusions
The following conclusions can be derived on the basis of the
present study on micro-structural characterization, tensile and
Charpy impact testing (over the fracture transition temperature) of
rolled and normalized specimens of low-carbon micro-alloyed
steel containing MnS inclusions.
(i) A decrease in the finish rolling temperature from 820 1C
(FRT820) to 730 1C (FRT730) or to 650 1C (FRT650) increases
the dislocation density of ferrite matrix, develops dislocation
substructure and increases the fraction of low-angle
boundaries.
(ii) Normalizing treatment at 940 1C (HT940) and 1150 1C
(HT1150) develops strain free equiaxed ferrite grains with
low dislocation density. The average and effective ferrite grain
size increases significantly (from 10 mm to 41 mm) with an
increase in normalizing temperature from 940 1C to 1150 1C.
(iii) The hardness and the strength of the as-rolled samples
increase with the decrease in finish rolling temperature.
The increase in strength is however, accompanied by a
decrease in uniform elongation and strain-hardening ability.
Normalizing treatment decreases the strength but improves
the uniform elongation and strain-hardening ability of
the steel.
(iv) The presence of MnS inclusions has a detrimental effect on
the upper shelf energy (USE) of the steel. However, in terms
of the impact transition temperature, MnS inclusions do not
appear to be as harmful as the TiN particles.
(v) MnS inclusions are responsible for the initiation coarse
micro-voids as a result of the separation of the inclusion–
matrix interface. The subsequent growth of micro-voids and
the propagation of the cleavage cracks depend on effective
ferrite grain size and matrix strength.
(vi) Refinement of effective grain size is responsible for the
improvement in low temperature impact toughness as the
high-angle boundaries inhibit the propagation of cleavage
micro-crack. Refinement of effective grain size also increases
the ductile crack propagation energy at the upper shelf
region of this steel.
(vii) The presence of higher dislocation density and finer sub-
grains significantly increases the matrix strength of FRT730
and FRT650 samples. As a consequence both have higher
impact transition temperatures. High matrix strength and
low strain-hardening ability suppress the growth of micro-
voids and thereby reduce USE. HT1150 sample showed high
impact transition temperature, in spite of the low matrix
strength, solely because of its high effective grain size.
(viii) Finish rolling just above the Ar3 temperature (as in FRT820
sample) or normalizing treatment using low austenitization
temperature (as in HT940 sample) can be recommended for
achieving the best possible impact toughness, even in the
presence of detrimental MnS inclusions.
Future studies are required to establish a quantitative relation-
ship between the size and distribution of MnS inclusions and its
USE and impact transition temperature.
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